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Abstract

The structural analyses described in the present report were performed in support of the
NASA Engineering and Safety Center (NESC) Critical Initial Flaw Size (CIFS)
assessment for the Ares I-X Upper Stage Simulator (USS) common shell segment. The
structural analysis effort for the NESC assessment had three thrusts: shell buckling
analyses, detailed stress analyses of the single-bolt joint test; and stress analyses of two-
segment 10°-wedge models for the peak axial tensile running load. Elasto-plastic, large-
deformation simulations were performed. Stress analysis results indicated that the stress
levels were well below the material yield stress for the bounding axial tensile design load.
This report also summarizes the analyses and results from parametric studies on modeling
the shell-to-gusset weld, flange-surface mismatch, bolt preload, and washer-bearing-
surface modeling. These analysis models were used to generate the stress levels specified
for the fatigue crack growth assessment using the design load with a factor of safety.
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Executive Summary

This report describes the structural analyses performed supporting the NESC Critical
Initial Flaw Size (CIFS) assessment of the Ares [-X USS common tuna-can segments.
First, structural analyses of the single-bolt joint configuration were performed to define
the modeling and analysis requirements and to calibrate the analysis models against test
data. These analyses were elasto-plastic, large-deformation nonlinear finite element
analyses. Different parametric studies were performed, and by far, the most significant
parameter affecting the single-bolt joint response was the washer-bearing-surface size.
Excellent test-analysis correlation (within 5%) was obtained for displacements, gap
opening, and surface strains.

Next, a repeating unit of the US1/US2 segments, a two-segment 10°-wedge model, was
identified. Finite element models of this 10°-wedge were developed. Structural analyses
were performed to examine the stress state in the vicinity of the shell-to-flange weld.
Elasto-plastic, large-deformation simulations were performed. The modeling strategy
simulated contact conditions along the flange interface between the two segments. Bolt
preload was included, and the washer-bearing-surface effects were also simulated using
kinematic coupling constraints. The lower edge of the lower segment and the sliced
boundaries of both segments had symmetry conditions imposed. The bounding value of

the shell in-plane axial tension running load ]Vx of 1,600 1b/in. was applied to the upper
edge of the upper segment.

Since these USS segments are unpressurized and only axial loads are applied in the
present CIFS assessment, the radial and hoop components are not anticipated to be
significant. The axial stress component is examined for an applied running axial load of
1,600 Ib/in., which results in a nominal far-field axial stress of 3.2 ksi. The axial stress
varies with location and reaches higher values near each bolt hole and reaches maximum
values as the gusset is approached. The axial stress distribution for perfectly flat flanges
indicated a maximum axial tensile stress of 12.5 ksi at the top of the fillet weld near the
gusset.

Both tensile and compressive applied load cases were analyzed to provide stress data at
the top of the fillet weld and the centerline of the gusset. These values were used as
inputs in the fatigue crack growth analyses. The through-the-thickness axial stress
distribution for the tension case decreases from the peak tensile value of 12.5 ksi on the
inside surface to essentially zero on the outside surface. The through-the-thickness axial
stress distribution for the compression case decreases from the peak compressive value
given of 5.2 ksi to approximately 3.3 ksi on the outside surface. For the tension case,
bending occurs due to the eccentricity of the load path in the joint. For the compression
case, bearing occurs due to closing of the joint by the external loading even more than by
the bolt preload.

The manufacturing and assembly of large diameter shells and annular ring segments are
difficult tasks in terms of maintaining stringent assembly tolerances on flatness,
perpendicularity, and parallelism on the mating surfaces. The influence of flange-surface
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mismatch due to local initial geometric surface imperfections along the flange mating
surface contribute to the fit-up stresses. These fit up stresses were evaluated. The peak
tensile axial stress at the top of the fillet weld was assessed for the bolt preload step of the
structural analysis from a stress free state. The stress distribution for a periodic mismatch
distribution with edge gaps indicated with a maximum axial tensile stress of 22.3 ksi.
These results indicate that the maximum axial tensile stress at the top of the fillet weld
and its circumferential location are dependent on the flange surface mismatch more than
the applied external axial loading.

In addition, a preliminary assessment of the buckling margins of the US1 segment to
dead-weight loading and to in-plane shear (torsional) flight loads was performed. In both
loading cases, the US1 segment had high margins against buckling.

In summary, stress analysis results indicated that the stress levels were well below the
material yield stress for the bounding axial tensile design load even with a factor of safety
of 1.4. The gussets tend to increase the local stress level near the top of the fillet weld
between the gusset and the adjacent bolt hole. Clocking of the gussets during assembly
causes only a minor change in the local stress state, and hence, clocking is not an issue.
From these structural analyses, for the maximum axial shell running load of 1,600 Ib/in.
the peak values of the axial stress along the top of the fillet weld at the shell-to-flange
interface have been determined to be 12.5 ksi for tensile loading and 5.2 ksi for
compressive loading. For a representative flange surface mismatch of 10 mils, the
maximum tensile stress was 22.3 ksi. These values are used subsequently in the CIFS
analyses.

Introduction

The Ares I-X Upper Stage Simulator (USS) is a mass simulator element for the Ares |
system (see Figure 1). The USS is comprised of seven similar cylindrical shell segments,
referred to as “tuna-can segments”, and interface structures as shown in Figure 2. Several
tuna-can segments are identical in their design and are referred to as the common
segments. Each tuna-can segment, as shown in Figure 3, has a flange welded to each end
allowing the different segments to be bolted together. Preloaded bolted-joint
connections are commonplace in engineering design of shell segments (e.g., see Ref. 1-
5). Preloading the bolts is generally done to reduce cyclic stresses, maintain joint
closure, or increase overall stiffness [4].

The structural analyses described in the present report were performed in support of the
NESC Ceritical Initial Flaw Size (CIFS) assessment for the Ares I-X USS common
segment. The Ares [-X USS project also independently performed structural analyses
reported in Ref. 6. The structural analysis effort for the NESC assessment had three
stages. Initially, limited preliminary shell buckling calculations were performed to assess
the buckling margins of the US1 segment under dead-weight loading and in-plane shear
loading. Next, detailed stress analyses were performed as pre-test predictions for the
single-bolt joint test and were followed by test-analysis correlation. The modeling
approach and basic analysis assumptions were assessed using the single-bolt joint model.
Based on those analyses, finite element models of a 10°-wedge repeating unit were
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developed for two adjacent tuna-can segments. These models are referred to as the two-
segment 10°-wedge models. This report summarizes the analyses and results from these
parametric studies.

The report is organized as follows. First, a brief overview of the common USS tuna-can
segments is presented. Second, an estimate of the bolt stress for the design load is
discussed. The preliminary buckling analyses and results are presented next. Then, the
analysis tools are described, and the modeling assumptions are presented. Numerical
results and discussion follow for the single-bolt joint simulations and the two-segment
10°-wedge simulations.

USS Segment Configuration

Configuration and dimensions

A common USS tuna-can segment shown in Figure 3 is 115 inches tall and 216 inches in
diameter with a 0.5-inch-thick shell wall. The radius-to-thickness ratio (R/7) is 216 and
the shell length to radius ratio (¢/R) is approximately unity. On each end of a segment, a
one-inch-thick flange is welded to the shell wall using a full penetration butt weld and an
interior fillet weld. The flange is 6 inches wide measured from its outer diameter to its
inner diameter. To aid in the flange-to-shell assembly, 0.5-inch-thick gussets are
installed on the interior of the shell and are spaced 10° apart around the circumference.
Each gusset has roughly a 6-inch by 12-inch planform. At the shell-to-flange
intersection, each gusset has a 1.5-inch-square cutout to accommodate the fillet weld.
This cutout is commonly referred to as a “mouse hole” in the present report and as a “rat
hole” in Ref. 6. Adjacent USS segments are assembled together through a series of bolts
with a 2° spacing along the flanges as shown in Figure 3. Nominally, these 7/8-inch-
diameter bolts have washers on both sides, and the bolts are preloaded. The preload
force in the bolt often is not known precisely; however, a preload torque between 300-
600 ft-1b was estimated. The dimensions of this bolted joint assembly are presented in
Figure 4.

Materials

The material for the components of the USS segments (shell wall, flange, and gussets) is
A516 Grade 70 steel. Different sources for the material data for this steel were
considered. First, the ASTM standard was considered [7]. In addition, the stress-strain
data as a function of temperature were obtained from Ref. 8. Since elasto-plastic
analyses were anticipated, the data from Battelle were used in the nonlinear finite element
analyses. These analyses required the material data in the form of true stress as a function
of the plastic strain.' The room-temperature stress-strain curve for A516 Grade 70 is
shown in Figure 5.

! For the uniaxial case, the nominal stress is the applied load divided by the initial cross sectional area and
the nominal strain is the change in length divided by the original length. On the other hand, the true stress
is the applied load divided by the current cross-sectional area and the true strain is the change in length
divided by the current length. The plastic strain is the difference between the total strain and the elastic
strain.
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The material for the bolts is A193 Grade 87 steel with a yield stress of 105 ksi [9]. The
material for the washers is A194 steel as described in Ref. 10. In these analyses, the
bolts, nuts, and washers were assumed to respond in a linear elastic manner and were not
explicitly modeled in any of the analyses.

Loads

Stress analyses were performed to support the critical initial flaw size assessment for a
flaw in the shell-to-flange circumferential weld. The critical loading condition
corresponds to the peak tensile load on the interface between two segments. The launch
vehicle loads are defined in terms of beam forces and moments at different mission times
as a function of position along the USS segment. Note that these loads are not time-
consistent loads.

Launch vehicle loads are typically defined in terms of beam forces and moments [11].
These beam forces and moments vary along the length of the vehicle as a function of x
and are converted into statically equivalent shell running loads as illustrated in Figure 6.
These shell running loads vary circumferentially around the shell circumference as a
function of angular locationd. The equations” used to convert the beam forces and
moments to in-plane axial and shear shell running loads (N, and N,g, respectively) are
given by:

-F. . M, sin6— M  cos6

N _(x,0)= la

(x,0) SR s (la)
- M Fsin@-F cos@

N _,(x,0)= 4= 4 1b

xg(x ) 27Z'R2 7Z'R ( )

where F_,F VLM M, and M _ are beam forces and moments from the overall vehicle

loads analysis. The peak or bounding tensile load can be determined by the maximum
values of N_and N _, in Eq. 1. This bounding value is assumed to be distributed all

around the circumference as shown in the lower right sketch in Figure 6. As N, is small

in comparison to N, N, is neglected in the current analyses. The peak tensile N, for

all stages of the mission was determined to be 1,600 Ib/in. during liftoff and occurs at the
interface between USS segments US1 and US2 [12]. This loading’ was taken as the
design load for maximum tension loading.

Since this assessment was focused on the critical initial flaw size, only the peak load
causing tensile behavior at the USS interfaces was examined from the vehicle systems
loads. Loading for the buckling analyses was treated separately and is described in a

? Personal notes obtained from Dr. Michael Nemeth, NASA Langley.
* The 1,600 Ib/in. peak tension running load was derived using both the axial force and the bending
moment from the loads provided in Ref. 12. Those loads are not time consistent loads. A more
conservative approach would be to use only the bending moment contribution to the peak tension running
load without taking credit for the compressive axial force. Then the peak tension running load is 2,200
Ib/in. at the US1/US2 interface during ascent. Fortuitously, this value is near the value obtained by
multiplying the 1,600 1b/in. load by the factor 1.4 (2,240 1b/in.).
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subsequent section. Loading for the single-bolt test was defined using the test
configuration and is also subsequently described.

Boundary conditions

Because of the inherent symmetry in a common USS tuna-can segment, computational
models that exploit symmetry were examined. A 10° circumferential slice of a half-
length tuna-can segment is shown in Figure 7. Symmetry boundary conditions were
imposed on the long edges of the boundaries. Along the upper edge, the bounding shell

in-plane axial running load N . 0f 1,600 Ib/in. was applied and all remaining degrees of

freedom were free. To simulate the bolted joint connection and the bearing response,
analysis models of two adjacent common segments were analyzed wherein symmetry
conditions were imposed along the lower edge of the lower segment. These boundary
conditions provided an axial restraint on the finite element model. Additional modeling
details for the two-segment finite element models are provided in subsequent sections.

Bolt Stress Estimate

The bolt stress estimate is based on a simple strength of materials approach for the bolt
and assumes the full utilization of bolt material before failure. The peak tensile load on
the interface is taken as 1,600 1b/in., which results in a total axial load of 1.1 million
pounds. For the 2° bolt spacing and using a factor of safety of 1.4, the average axial
force carried per bolt is 8,450 1b (i.e., 1.4x6,035 1b) for each of the 180 bolts. The stress
in a bolt due to this mechanical loading, which includes a 1.4 factor of safety, is the
average bolt axial force divided by the bolt cross-sectional area’ (0.6 in.” for a 7/8-in.-
diameter bolt) giving a value of 14 ksi (i.e., 1.4x10 ksi).

The bolt preload assumptions include a specified preload torque 7 and a nut factor £.° A
nominal preload torque of 400 ft-1b and a nut factor of 0.15 are assumed. The preload
torque is related to the preload axial force F by:

T = kFd,, )

and results in a bolt preload force of 36,500 Ib. This force gives an initial stress in the
bolt due to preload of 61 ksi. Note that different combinations of preload torque and nut
factor values give the same preload force for a given bolt diameter dp,;, as indicated in
Figure 8. For example, a preload axial force of 36,500 Ib can be obtained, as shown in
Figure 8, using a preload torque of 267 ft-1b and a nut factor of 0.10, a preload torque of
400 ft-1b and a nut factor of 0.15, or a preload torque of 533 ft-1b and a nut factor of 0.20.

* The actual bolt diameter was used in these calculations rather than the minimum tensile area since
fastener specification was not settled. The tensile area of a threaded bolt is given in Ref. 4 as:

4= g( i 0.9743]2

4 n
where dp,; is the nominal bolt diameter and #» is the number of threads per inch. For a 7/8-9 UNC bolt, A4 is
0.462 in.” compared to 0.6 in.> for the nominal bolt diameter.
> A nut factor is a factor used to account for friction in the threads of the bolt and nut [4].
7 January 23, 2008




Hence, the total bolt stress is estimated as the sum of the stress due to the mechanical
loads and the stress due to the preload force for a total of 75 ksi (i.e., 14 ksi + 61 ksi).
This value is below the yield stress of the bolt material, 105 ksi. As an upper bound on
bolt load, the incipient bolt yield force is defined as the preload force equivalent to
complete bolt cross-sectional yielding (i.e., bolt yield stress multiplied by the nominal
bolt cross-sectional area) and is equal to 63,000 1b.°

Buckling Analyses
Shell buckling analyses were performed for two loading conditions: a dead-weight
uniform in-plane compression case and a uniform in-plane shear case. The shell buckling
analyses were performed using the STAGS finite element code [13, 14]. In these cases,
the US1 segment was represented as a uniform thickness circular cylindrical shell
modeled using two-dimensional shell elements, while the end flanges were modeled
using one-dimensional beam elements. Various finite element discretizations were
examined to demonstrate convergence of the buckling load and the mode shape.

Buckling calculations based on NASA SP-8007 [15] were also performed. For these
shell dimensions, the curvature parameter Z is defined as:

2
Z=%\/1—02 (3)

where ¢ is the cylinder length, R is the cylinder radius, ¢ is the cylinder wall thickness,
and vis Poisson’s ratio for the shell’s material. For the present application, Z takes on a
value of 233. The correlation factor y accounts for the difference between classical
theory and predicted instability loads and is calculated using the following:

y=1-0.901(1-¢*) (4)

1 [R R
=—_|— for — <1500 5
¢ 16\ ¢ t )

where

For these dimensions and a linear elastic response, the correlation factor yis equal to a
value 0f 0.459. No combined load cases were considered.

Buckling due to dead weight of vehicle

For the USS segments, the worst-case dead-weight compression loading occurs for the
US1 segment. The total weight of the vehicle at the US1/SR3 interface is 431 kips for
the Ares I vehicle and 425 kips for the Ares [-X vehicle. Hence, a total dead weight of
450 kips was assumed. For a circular cylindrical shell with a radius of 108.25 inches, the

average bounding compression running load ]Vx is 662 Ib/in. for the dead-weight case.

% In cases where the bolt preload force is unknown, a percentage of the incipient bolt yield force is assumed
as the bolt preload force, for example, 65% of bolt yield force gives a preload force of 41,000 Ib.
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This buckling calculation treated dead weight only and did not account for in-flight
compressive loads.

The NASA SP-8007 [15] prediction for the critical axial compressive running load is
given by:

2
critica T D
Nx tical _ kx gz (6)

where

k =

X

43
>/ )
T
Here, k, is equal to 75.3 thereby giving a critical axial compressive running load based on
SP-8007 of 19,100 1b/in. or 28.9 times the dead weight of the vehicle. That is,

=19,100Ibs/in.=28.9 N (8)

)8007

( N critical
x

Finite element buckling analyses of the shell were also performed using a uniform
compressive prestress state of 662 1b/in. (i.e., shell running load due to the dead weight of
the vehicle). The finite element mesh was successively refined until the buckling
eigenvalue and eigenmode remained unchanged. The results of this convergence study
are presented in Table 1 and shown in Figure 9. The lowest eigenvalue was 64 times the
prestress state. Taking into account the shell correlation factor y produces a critical
buckling load from the finite element analysis of:

FEA

(vertieat YE4 = )4 N, = (459)(64)(662) = 19,447 Ibs/in. = 29.4N,, 9)

Hence, the critical loads predicted by both approaches are in agreement and also indicate
a significant margin against buckling due to dead weight of the vehicle. In-flight
compressive loads need to be assessed and were not part of the present CIFS assessment.

Buckling due to in-plane shear loading
For the in-plane shear loading, the flight load cases provided were examined and the
maximum in-plane shear running load N +¢ Was determined to be 400 Ib/in. and occurred

during lift-off. It was further assumed that this maximum value represented a uniform
bounding in-plane shear loading case for the loads provided.

Using NASA SP-8007 [15], the prediction for the critical in-plane shear shell running
load is given by:

2
Nk, T (10)
where
k., =0.85(2)" (11)
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Here k¢ is equal to 28.3 thereby giving a critical in-plane shear running load of 7,200
Ib/in. That is,

)8007

(wveriieat 7 = 7,200 Ibs/in. = 18.0 N, (12)
Finite element buckling analyses of the shell were also performed using a uniform in-
plane shear prestress state of 400 1b/in. The finite element mesh was successively refined
until the buckling eigenvalue and eigenmode remained unchanged. The results of this
convergence study are listed in Table 2 and shown in Figure 10. The lowest eigenvalue
was 35 times the prestress state. Taking into account the shell correlation factor y
produces a critical in-plane shear buckling load from the finite element analysis of:

(weriea Y~y A N, = (459)(34.6)(400) = 6,345 Ibs/in. = 15.9N , (13)

Hence, the critical loads predicted by both approaches are in agreement and also indicate
a significant margin against buckling due to in-plane shear loading during lift-off.

Analysis Tools and Modeling

Engineering analysis of representative USS segments and subcomponents required the
use of several different computer-aided engineering analysis tools including those for
representing the geometry, those for generating the finite element models, those for
performing the structural analyses, and those for post-processing the computed results. In
addition, component level analyses were performed to study system response and to
identify modeling issues for accurate simulation of the bolted joint structure.

Analysis tools

The finite element spatial discretization process (or meshing) of the various components
of a USS segment was performed using the ABAQUS [16] software system’. A HEX-
meshable solid geometry definition of each component was developed. This solid
geometry definition provided a common basis for the finite element modeling tasks
performed in the present study.

ABAQUS/Standard Version 6.6-4 was used to perform all analyses. Windows/XP-based
desktop computers were used to access Linux-based computing clusters to submit
execution runs, to examine results files, and to interrogate the computed solutions using
graphical post-processing and data reduction tools.

Modeling assumptions

Several different analysis models were used in this report. The development of these
analysis models incorporated several fundamental assumptions. Each of these
assumptions is described next. These assumptions were common to all of the analysis
models used in the stress analyses to support the present CIFS assessment.

7 ABAQUS/Standard is a registered trademark of ABAQUS, Inc.
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First, the bolts, nuts, and washers were not explicitly represented in the finite element
models, but rather their influence was simulated. The bolts were represented as one-
dimensional linear elastic beams. The washers were represented as sets of kinematic
coupling constraints that extend from the bolt centerline to a specified distance on the
outer flanges to simulate the bearing load. Kinematic coupling constrained the nodes
associated with the washer-bearing surface to the translation and rotation of a node on the
bolt. The washer-bearing-surface modeling assumptions are illustrated in Figure 11
where the extent of the kinematic coupling constraints extends a distance 3 radially
outward from the edge of the bolt hole. The radius of the bolt hole is 0.5 inches, and the
outer radius of the washer is 0.875 inches. The largest value of f3 (i.e., 3/8-inch)
corresponds to the size of the washer.

Second, the finite element models were developed to accommodate different material
properties in regions of the model as indicated in Figure 12. The shell wall is welded to
the flange using a through-the-thickness butt weld followed by a fillet weld along the
shell-wall-to-flange intersection on the back side of the L-shaped structure. The weld
regions are shown in yellow in Figure 12. Because of the welding process, the material
properties in regions near the weld, known as the heat-affected zone (HAZ), could be
affected. The regions shown in magenta and light green in Figure 12 are heat-affected
zones. In the present analyses, all regions, including the weld and HAZ, used the parent
material properties.

Third, the gusset-to-shell and gusset-to-flange fillet welds were not explicitly represented
in these models. These welds were initially treated as full-surface, full-length welds and
modeled using a tied-nodes approach between the nodes on the shell (or flange) and
directly adjacent nodes on the gusset. This assumption was assessed and is described
subsequently for the two-segment 10°-wedge analyses.

Fourth, only the bounding load case was analyzed. The bounding load was defined by
combining the maximum beam axial force and bending moments rather than just the
beam bending moments alone. It was assumed that the in-plane shear loading did not
play a significant role in the critical initial flaw size determination. Hence, only the axial
loading causing maximum tensile shell running loads was used in these computations.
The beam axial force on the vehicle is typically compressive; however, when combined
with the beam bending moment, the axial shell running load N, from Eq. 1a, may

change from tension to compression around the shell circumference.

Fifth, the computational effort for these finite element models was bounded somewhat by
incorporating two different modeling regions as indicated in Figure 13. Away from the
local joint region, a two-dimensional shell finite element model, incorporating the
ABAQUS S4 4-node quadrilateral standard shell element, was used to represent the
structure. While a shell element has more nodal degrees of freedom than a solid element,
no explicit through-the-thickness modeling is required because of the kinematic
assumptions employed by shell elements. The use of two-dimensional shell elements for
the far-field response readily accommodates the specification of shell running loads or
end displacements. Near the joint region, three-dimensional solid finite element
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modeling was employed. The three-dimensional finite element modeling incorporated the
ABAQUS C3D8I 8-node solid hexahedral (brick) element, which includes incompatible
modes as element shape functions for improved bending response. At the interface of the
two-dimensional and three-dimensional regions, multi-point constraints were defined
through a shell-to-solid connection constraint for connecting a two-dimensional shell
finite element model to a three-dimensional solid finite element model.

Single-bolt joint modeling

The single-bolt joint was modeled and analyzed to determine modeling requirements for
subsequent finite element models and to support the single-bolt joint tests [17]. These
models represented two flat segments with welded flanges and a single bolt (see Figure
13). Two different finite element models were assessed. First, a coarse (less refined)
finite element model, as shown in Figure 14, was developed. Then a refined finite
element mesh, shown in Figure 15, was developed. Results obtained using the coarse
mesh were correlated against those obtained using the refined model. The finite element
model shown in Figure 14 was then used to develop the larger two-segment 10°-wedge
models, while the more refined model shown in Figure 15 was used in test-analysis
correlation.

Two-segment 10°-wedge modeling

A single segment 10°-wedge model represents a repeating unit of a single USS tuna-can
segment. For the 10°-wedge, the shell wall, flange, one gusset, four complete bolt holes,
and two half bolt holes were included as indicated in Figure 16. Details of the shell-to-
flange weld modeling are shown in Figure 17. The two-segment 10°-wedge model was
developed by combining two single segment models so that it represents a repeating unit
(symmetric slice) of two USS tuna-can segments that are bolted together at their flanges.
This two-segment model is shown in Figures 18 and 19. The modeling strategy is the
same as used in the single-bolt joint analysis coarse mesh in terms of finite element
discretization and includes two adjacent common segments. The contact conditions
along the flange interface between the two segments were simulated using the
ABAQUS/Standard contact algorithm. Bolt preload was included, and the washer-
bearing-surface effects were also simulated. The lower edge of the lower segment and
the sliced boundaries of both segments had symmetry conditions imposed. The bounding

shell in-plane axial tension running load N . 0f 1,600 Ib/in. was applied to the upper edge
of the upper segment.

Single-Bolt Joint Test Analyses

Test configuration

The single-bolt joint test configuration is illustrated in Figure 20. It involves two flat
segments with 15 inches of shell wall material and a flange welded to one edge. The
3.77-inch wide specimen is similar to a 2° slice of a single-bolt joint in a USS tuna-can
segment. The preload force in the bolt for the test was not known; however, the preload
torque was estimated to be between 300-600 ft-1b and a nut factor of 0.15 was assumed as
well.
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Two tests were performed at the NASA Glenn Research Center [17]. In each test, the
end displacement was applied and the reacted load indicated. While these were
displacement-controlled tests, the reacted load was used to make decisions. For each test,
the reacted load was increased to a preset value and then unloaded so the specimen could
be examined for any evidence of plasticity in the joint, for any local anomalies, and to
insure data collection was verified.

A photograph of the specimen in the test setup is shown in Figure 21. Both ends of the
specimen were restrained except that the upper end was loaded by uniform end extension
and the reacted tensile load determined. The sides of the specimen were free.
Photographs of the specimens during the test are shown in Figure 22 and illustrate the
joint opening under loading much in excess of the design load. In each test, failure
occurred in the bolt and not in the weld region, and failure occurred at load levels far
above the design load®.

Effect of mesh refinement

Two different finite element models were used in the analysis of the preloaded bolted
joint to assess the effect of finite element mesh refinement. First, a coarse finite element
mesh, shown in Figure 14, was developed and assessed. The coarse mesh was designed
to represent all significant structural behavior up to approximately twice the design load
and also to be amenable to multiple bolt structural configurations while keeping the
solution times reasonable. Then, a second more refined model, shown in Figure 15, was
developed, and the predicted response compared to the results obtained using the coarse
model. The refined mesh was designed for use in detailed analysis studies of the bolted
joint when loaded to failure.

A Va-inch washer-bearing-surface assumption and a 400 ft-1b preload torque in the bolt
were assumed for both finite element models. The 400 ft-Ib bolt preload torque was
converted into a 36,500 1b bolt preload axial force using Eq. 2 with an assumed nut factor
of 0.15 for steel on steel. An applied uniform extensional end displacement A was
imposed along the upper edge and reacted through the fixed boundary along the lower
edge as illustrated in Figure 13.

The reaction force as a function of end displacement for the coarse and refined meshes is
shown in Figure 23. Both results show good correlation up to approximately 20,000 1b —
more than twice the design load (8,450 1b). The response predicted using the coarse
mesh were somewhat stiffer than the response predicted using the refined mesh for load
levels above 20,000 1b. Therefore, the finite element model with the refined mesh shown
in Figure 15 is used in all subsequent simulations and is referred to as the baseline
analysis model.

¥ The design load is estimated to be 8,450 Ib using the bounding tensile shell running load of 1,600 Ib/in., a
factor of safety of 1.4, and the specimen width of 3.77 inches.
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Baseline analysis case results

The baseline analysis case is defined as the refined finite element model shown in Figure
15 with a Ys-inch washer-bearing-surface assumption and a 400 ft-1b preload torque in the
bolt. The 400 ft-Ib bolt preload torque was converted into a 36,500 1b bolt preload axial
force using Eq. 2 with an assumed nut factor of 0.15 for steel on steel. An applied
uniform end extension A was imposed along the upper edge and reacted through the
clamped boundary along the lower edge.

The structural response of the single-bolt joint is shown in Figure 24 for the bolt load as a
function of the applied end displacement. For the baseline analysis case, the bolt load
stays constant at the preload level (36,500 1b) until the joint begins to separate.

Following this curve as the end displacement increases will provide the end displacement
value when the bolt load reaches incipient yield of the bolt (i.e., 63,000 Ib). This value is
reached at an end displacement value of 0.046 inches for the baseline analysis case.
Using this value of the end displacement at incipient bolt yield and the reaction force as a
function of applied end displacement shown in Figure 25, the applied load for bolt failure
can be estimated as 30,000 Ib for the baseline analysis assumptions.

The flange separation (or gap opening) is shown in Figure 26 in terms of the reaction
load. Below the design load of 8,450 1b, minimal flange separation (or gap opening) is
observed. As the end displacement increases further, the gap opening also increases in a
nonlinear manner and reaches nearly 0.04 inches at an applied load of 30,000 Ib., which
is the estimated bolt failure load.

The surface strains as a function of the reaction load are shown in Figure 27. The strains
are from a location at the center of the specimen width and 1-inch above the flange
surface. The design load (8,450 1b) and the bolt incipient-yield load (failure load of
30,000 Ib) are indicated on the figure. At the design load, the surface strain level is very
low at that location on the specimen.

The lateral displacement response of the joint is shown in Figure 28. The lateral
displacement is measured along the front face at the joint interface and is uniform across
the joint width. Positive values indicate the joint is displaced in the direction away from
the back face, while negative values indicate the joint is displaced in the direction away
from the front face. Nonzero values are an indication of the eccentricity in the load path
through the bolted joint. These results indicate the bolted joint displaces outward (in the
direction of the front face) as the end displacement increases.

The distributions of the axial strain €, and the von Mises stress csvmg for three different
load levels are shown in Figure 29 wherein the ranges of the contour levels are fixed.
Results for 8,450 Ib are shown in Figure 29a and indicate low axial strain and von Mises
stress levels. Most of the higher stress values are due to the bolt bearing under the

? The von Mises stress in a local x,y,z coordinate system is expressed
as: 1 >
o=l -0.f +lo, -0 f +lo. o ) +ele 4o+l
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preload conditions. At 30,000 Ib as shown in Figure 29b, the strain levels are still
relatively low, while stress levels in the vicinity of the bolt approach the yield value.

High stresses are also noted at the top of the fillet weld on the inside surface (bolt side) of
the specimen. At 38,300 Ib as shown in Figure 29c, high axial strains have developed and
widespread yielding of the joint material is predicted.

These results indicate that the basic structural response of a single-bolt joint is simulated
using the baseline analysis model and its assumptions. The analysis approach first
analyzed the bolt preload step and then incrementally increased the applied uniform end
displacement until convergence of the nonlinear solution procedure could not be obtained
due to local material failures. Parametric studies were performed next to determine
which factors have more influence on the prediction of the joint structural response.

Effect of bolt preload

The first factor to consider was the bolt preload torque. In the finite element analysis
model, the preload axial force, as determined using Eq. 2, was actually specified rather
than the preload torque. However, in the test setup, the preload torque was measured
using a torque wrench.

The structural response of the joint is indicated in Figure 30 in terms of the bolt load as a
function of applied end displacement for different preload torque values but assuming a
nut factor of 0.15 for all cases. The long edges were free, and the washer-bearing-surface
size B equaled "s-inch. Increasing the preload torque decreased the end displacement that
causes incipient bolt yield. However, the influence on the reaction force was minimal as
indicated in Figure 31.

Effect of washer-bearing-surface modeling

The second factor to consider was the washer-bearing-surface size as illustrated in Figure
11. The bearing surface is the area under the washer that bears against the flange and
holds the joint together. In these studies, the washer-bearing-surface size 3 varied from
the nut diameter to somewhat larger than the washer outer diameter (indicated by the
“green blocks” in the lower left of diagram in Figure 4). The long edges of the specimen
were free, and the bolt preload force was 36,500 1b.

As the value of 8 increased, the bolt load increased as shown in Figure 32 and the
reaction load increased as shown in Figure 33 for a given end displacement. The
response of the preloaded bolted joint exhibited a significant sensitivity to different
washer-bearing-surface size assumptions. The washer-bearing-surface size has a
significant effect on the preloaded bolted-joint response.

Effect of edge boundary conditions

The third factor to consider was the boundary conditions on the long edges of the
specimen. Within the test configuration, these edges were free. However, to assess the
relationship between this single-bolt joint test and a full tuna-can segment, symmetry
boundary conditions were applied to the long edges. The bolt preload force was 36,500
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Ib, and different values of the washer-bearing-surface size were evaluated. These results
were then compared to the results obtained when the long edges were free.

The influence of the long edge boundary conditions on the bolt load as a function of end
displacement is shown in Figure 34. The influence of the long edge boundary conditions
on the reaction load as a function of end displacement is shown in Figure 35. The solid
lines with symbols represent the free condition, while the dashed lines with symbols
represent the symmetry condition. These results suggest that the use of free or symmetric
boundary conditions along the long edges of the specimen has very little influence on the
structural response.

Effect of specimen length

The fourth factor to consider was the length of the single-bolt joint specimen (i.e., overall
specimen length minus twice the grip length). The overall length of the specimen was 30
inches. However, a portion of both ends was covered by mechanical grips to hold the
specimen in the test machine. Since this was a tensile test rather than a compression test,
the length of the end grips should not have an influence on the local joint response
provided the grips were not too close to the region of interest.

Three different grip lengths L, were considered: 0, 3, and 6 inches. The long edges of
the specimen were free, a bolt preload force of 36,500 Ib was specified, and a Y4-inch
washer-bearing-surface was assumed. The influence of specimen length on the reaction
force as a function of end displacement is shown in Figure 36. Clearly, a marginal
stiffening of the structural response for increased grip length is noted from this figure.
The effect on the local von Mises stress distribution is shown in Figure 37 for an applied
end displacement of 0.02 inches. As the grip length increased, there is also a marginal
change in the stress level near the weld region.

Test-analysis correlation

Two tests of a single-bolt joint configuration were compared with finite element analysis
results. The analysis models were based on the refined finite element mesh with the long
edges free and a bolt preload force of 36,500 Ib. Since the washer-bearing-surface size 3
had a significant influence on the analysis predictions, the three 3 values analyzed were
compared with the test data as shown in Figure 38. These results indicate that a 1/8-inch
washer-bearing-surface size assumption provides the best test-analysis correlation. For
this configuration, the analysis continued up to the maximum load observed in the test
and then unloading was performed. The correlation between the analysis and test results
is very good for both loading and unloading.

Test and analysis results for flange separation (or gap opening) as a function of end
displacement were compared in Figure 39. Again, excellent correlation between test and
analysis results was evident for the 1/8-inch washer-bearing-surface size assumption.

Surface strain comparisons are given in Figure 40 for Test 1 and in Figure 41 for Test 2.
These surface strains were measured at the center of the specimen width and one inch
above the flange. The back face is defined as the side of the specimen with the flanges
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and bolt. The front face is defined as the side opposite the bolt side. The average strain
value represents the nominal membrane strain. Excellent correlation is evident for both
the loading and unloading events prior to bolt failure for the 1/8-inch washer-bearing-
surface size assumption.

In summary, the structural response of the single-bolt joint is simulated very well in the
current finite element model. Bolt preload and washer-bearing-surface area are important
features that need to be modeled to represent the joint behavior accurately. The boundary
conditions on the long edges of the specimen and the grip length have marginal effect on
the behavior of the joint. The current analysis with a bolt preload force of 36,500 Ib
(corresponding to a 400 ft-lb preload torque and a nut factor value of 0.15) and a 1/8-inch
washer-bearing-surface size yields excellent test-analysis correlation for reaction forces,
surface strains, and flange gap opening as a function of end displacement for loading up
to the maximum load and unloading to zero load. The single-bolt test provided the
validation data for the structural analysis performed for this configuration.

Two-segment 10 -Wedge Analyses

The two-segment 10°-wedge models were developed based on the findings from the
single-bolt parametric studies. For the stress analysis model, the bolts were simulated as
one-dimensional beams, and the effect of the bolts and washers were simulated using
kinematic coupling constraints that extended Y4-inch from the bolt hole (i.e., $=0.25)"°.
This nominal washer-bearing-surface size was used in the baseline case. A nominal shell
axial running load of 1,600 Ib/in. (design load) was applied. Large displacement effects
were included in the analyses, and the material behavior was treated as elasto-plastic with
strain hardening. Symmetry boundary conditions were imposed on the long, straight
edges of the model. Contact conditions were imposed between both flange surfaces. The
analyses include preloading the bolts to 36,500 1b as a first step (Step 1) followed by the
application of the shell axial running load with different multipliers. The first multiplier
(Step 2) was 1.0 for the design load. The second multiplier (Step 3) was 1.25 times the
design load and so forth. The mesh refinement was based on the single-bolt joint model
with a coarse finite element mesh shown in Figure 14. This finite element model is
referred to as the two-segment 10°-wedge baseline model.

Baseline analysis case results

The first aspect considered was the importance of nonlinearities (geometrical or material)
on the structural response. Using the baseline two-segment 10°-wedge model, analyses
were performed assuming small deformations and linear elastic response, assuming small
deformations and elasto-plastic response, and assuming large deformations and elasto-
plastic response. In each case, a nonlinear analysis had to be performed due to the
contact modeling between the flanges. The results from these analyses are shown in
Figure 42 for axial running load level as a function of end displacement. The results for
different levels of nonlinearities are essentially identical for axial running loads below

' The two-segment analyses were well underway before the single-bolt joint tests were performed. As a
consequence, the baseline 1/4-inch value of the washer-bearing-surface size was used in the two-segment
analyses.
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2,000 1b/in., and only minor differences exist for higher load values due to localized
yielding in the vicinity of the bolts.

Next, a stress analysis was performed using design axial running load of 1,600 1b/in. with
a factor of safety of 1.4 (i.e., axial running load of 2,240 1b/in.). The distribution of the
von Mises stress 1s shown in Figure 43 where the contour range is zero to the yield stress
(i.e., 40.76 ksi). The peak stress value (14.6 ksi) occurs slightly away from the gusset
near the fillet weld on the inside surface of the shell wall. Directly under the gusset in the
fillet weld, the peak value is 12 ksi. Using the cutting plane feature of
ABAQUS/Viewer'', the through-the-thickness stress distribution for an axial cutting
plane at the top of the fillet weld can be viewed (see Figure 44). This view confirms the
location of the peak von Mises stress at the fillet weld on the inside shell wall.

Other cutting planes through the finite element model also provide insight as shown in
Figure 45 for vertical cutting planes at three different circumferential locations. The local
stress distributions near the first and second holes shown in Figures 45a and 45b,
respectively, indicate nearly the same stress contour pattern and stress magnitude;
however, the stress level near the fillet weld increases closer to the gusset. The bearing
stress distribution between the flanges is shown in Figure 45¢ and also indicates an
increase in stress level at the gusset’s mouse hole intersection with the flange.

The effect of higher load levels on the structural response of the segment is indicated in
Figure 46. The distribution of von Mises stress for several loading steps is shown where
the contour range is again fixed to be from zero to the yield stress. The first distribution
corresponds to the local stress state resulting from bolt preloading to an axial force of
36,500 Ib. Subsequent distributions are for different values of the axial running load
relative to the design value (1,600 Ib/in.). These results indicate that even at twice the
design load, the stress values are well below the yield stress value, except near the bolts.
At four times the design load, high stress values are noted near the fillet weld in the
vicinity of the gusset.

Relationship between single-bolt and 10°-wedge models

The relationship between the single-bolt joint simulations and tests and the USS tuna-can
segment simulations was established next. In the single-bolt joint tests, it was found that
the joint was exceedingly strong and could readily carry the design loads. However, the
relationship between the test article (flat, single bolt) and the actual component (curved,
multiple bolts, gussets) needed to be established. As indicated in Figure 47, the basic
questions include: Does the single-bolt case reflect the shell response? How do the
gussets affect the response? and Does extreme “clocking” of the gussets affect the
response? These questions were addressed using the two-segment 10°-wedge models.

To address the first question, the two-segment model without gussets was analyzed, and
the von Mises stress distributions for the 2,240 1b/in. axial running load case were
compared with similar results obtained using the single-bolt joint model with symmetry

" ABAQUS/Viewer is a registered trademark of ABAQUS, Inc.
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boundary conditions along the long edges of the model and a 2,370 1b/in. axial running
load'?. The comparison is given in Figure 48. The stress value away from the joint at
these load levels from both models is about 5 ksi. At the top of the fillet weld on the
inside shell surface, the stress value increased from the 5 ksi level to nearly the same
value (11 ksi for the joint model and 10 ksi for the segment model). Both models
indicate a local stress gradient in the shell wall opposite the bolt hole, and the segment
model indicates a repeating pattern. Thus, the single-bolt joint case does reflect the
structural response seen in the shell.

To address the second question, the two-segment model with gussets (baseline case) and
the two-segment model without gussets were analyzed, and the von Mises stress
distributions for the 2,240 Ib/in. axial running load case were compared. The comparison
is given in Figure 49. The stress value away from the joint and gussets is the same in
both cases. At the top of the fillet weld on the inside shell surface, the stress value
increased from 10 ksi without the gussets to 14.6 ksi with the gussets. The presence of
the gussets results in a nearby stress gradient in the shell wall near the fillet weld. Peak
von Mises stress values still occur opposite the bolt holes at the top of the fillet weld.
Thus, the gussets contribute to the stiffening of the 10°-wedge model and hence increase
the peak von Mises stress values near the gussets in the fillet weld region.

To address the third question, the two-segment models were again employed. One model
included two gussets that were aligned with each other (baseline case), while the second
model had a gusset only on the top segment (see Figure 50). This arrangement represents
an extreme worse case where there are only gussets on the top segment and no gussets on
the bottom segment. This configuration is referred to as extreme “clocking” of the
segments. The von Mises stress distributions for the 2,240 Ib/in. axial running load case
are compared in Figure 50. Peak values of the von Mises stress are reduced slightly to 14
ksi, and the distributions are essentially unchanged. Thus, gusset “clocking” during
assembly of adjacent USS segments had minimal effect on either the local von Mises
stress distribution or the peak values.

Stress and strain distributions

Previously, the von Mises stress distributions have been presented primarily because
most plasticity models are defined using uniaxial stress-strain data and effective stress
and strain measures, such as the von Mises stress. However, it is useful to examine the
distribution of the stresses and strains by component — in particular, the normal
components. Since these USS segments are unpressurized and only axial loads are
applied in the present CIFS assessment, the radial and hoop components are not
anticipated to be significant.

The axial components of the stress and strain are examined first. The applied axial
running load is 2,240 Ib/in., which results in a nominal far-field axial stress of 4.48 ksi.
The distribution of axial stress at the top of the fillet weld on the inside shell surface is
shown in Figure 51 as a function of circumferential location. The axial stress varies with

'2 A solution at this load level had already been obtained and re-running the simulation was not warranted.
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location and reaches higher values near each bolt hole and maximum values as the gusset
is approached. The axial stress distribution is shown in Figure 52 and indicates high
compressive stresses near the washer bearing surface. The axial strain distribution is
shown in Figure 53 with peak tensile values occurring near the top of the fillet weld close
to the gusset.

The radial components of the stress and strain are examined second. The radial stress
distribution is shown in Figure 54 and indicates higher values near each bolt hole in the
fillet weld at the flange-to-flange interface. The radial stress is approximately 4-5 ksi in
the region where the axial stress (see Figure 52) has a maximum value. The radial strain
distribution is shown in Figure 55 and exhibits higher values near the bolt holes.

The hoop components of the stress and strain are examined next. The hoop stress
distribution is shown in Figure 56 and indicates higher values near the bolt holes. The
hoop stress is approximately 5 ksi in the region where the axial stress (see Figure 52) has
a maximum value. The hoop strain distribution is shown in Figure 57, and these strains
are an order of magnitude smaller than the axial and radial strains.

Residual plastic strain assessment

The stress analyses performed thus far for the two-segment 10°-wedge models have not
indicated any material yielding of the structure. To assess the residual plastic strains, the
loading sequence shown in Figure 58 was simulated. Within ABAQUS/Standard, each
solution step is defined in terms of a “pseudo-time” as load factors may be increased or
decreased from their value at a previous pseudo-time value (or solution step). In this
simulation, the bolt preload was applied first, followed by applying the running axial
shell load. The running load was first increased to its design value (1,600 Ib/in.), then by
factors of 1.25, 1.4, and 4.0. From that load level, the axial running load was removed.
Once the axial load was removed, it was re-applied to a level of 1.4 times the design load.

The multiplier for the design running load as a function of end displacement is shown in
Figure 59. Incipient yielding in the two-segment 10°-wedge model was noted at a load
factor of 2.58 times the design load and occurred in the vicinity of the bolt holes due to
bearing. However, the local yielding had little effect on the overall response of the
structure.

Contour plots of the equivalent plastic strain are shown in Figure 60 at selected load
levels for loading and unloading. These distributions indicate no material yielding up to
1.4 times the design load. Distributions for load factors above 2.58 indicate local
material yielding near the bolt holes presumably due to high bearing stresses under the
washer. These results indicate that plasticity is not a contributing factor to the present
CIFS assessment for the baseline analysis model — even when the axial running load is
twice the design value.

Refinement of baseline finite element model

Additional parametric studies using the two-segment 10°-wedge baseline finite element
model required mesh modifications. The remaining studies were to assess the shell-to-

20 January 23, 2008



gusset weld modeling approach and to perform a preliminary fracture mechanics analysis.
The impact of each of these studies on the finite element modeling is described next.

An alternate welding pattern for the shell-to-gusset welds was considered. One approach
was to use fillet welds on both sides of the 0.5-inch-thick gussets along their full length.
Alternatively, a “stitched” weld pattern was proposed where the fillet welds would start
Ya-inch from the ends of the gusset and alternate in a 2-inch-weld/2-inch-free pattern as
indicated in Figure 61. Such a welding pattern could not be accommodated using the
baseline finite element model, and mesh modifications within the shell and the gusset
were required.

Next, it was proposed that since the high stresses occur at the top of the shell-to-flange
fillet weld, a fracture mechanics analysis of a through-the-thickness crack in this region
would be performed. Again, the baseline finite element model could not be used for two
reasons. First, a through-the-thickness crack required a plane of nodes through the
thickness of the model at the top of the fillet weld. Since the baseline model was
originally developed to accommodate different material properties in the butt weld
region, a through-the-thickness plane of nodes at the top of the fillet weld did not exist
(see left side of Figure 62). The discretization through the shell thickness was refined, as
shown on the right side of Figure 62, to accommodate this need. Second, the element
sizes in the vicinity of the proposed crack needed to be sufficiently small and uniform, as
shown in Figure 63, in order to compute the fracture mechanics parameters. These mesh
modifications required mesh refinement within the shell, the flange, and the gusset.

These three modifications to the baseline finite element model gave rise to the refined
finite element model of the two-segment 10°-wedge case. These modifications had
consequences of mesh refinement in other regions as a result of the local changes.
However, before the refined model was employed in these studies, a verification step was
performed using a 2,240 1b/in. axial running load to determine whether any response
differences between the baseline model and the refined model were evident.

The axial stress distribution as a function of the circumferential location is shown in
Figure 64 for the baseline model and the refined model. In the vicinity of the gusset, the
axial stress values increase due to the local mesh refinement with the peak value being
~15 ksi for the refined model and ~14 ksi for the baseline model. Overall distribution
patterns are the same for the two models. In addition, a comparison of the axial stress
contour plots is given in Figure 65 and indicates the same overall response.

The axial stress distribution as a function of vertical distance z about the flange surface is
shown in Figure 66 for the baseline model and the refined model. These values are from
a position approximately 1° away from the centerline of the gusset. Again the same
overall distribution is obtained for both models. Both models predict an increase in the
axial stress at the top of the gusset. Both models also recover the far-field axial stress
value of 4.48 ksi (i.e., axial running load divided by the shell wall thickness).
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Prior to the refined model, the axial stress distribution through the shell wall thickness
could not be readily obtained. However, the refined model has a plane through the
thickness, and the axial stress distribution shown in Figure 67 is easily generated. These
results indicate a near linear axial stress distribution through the shell wall. It varies from
~15 ksi tension on the inside (bolt side) surface to ~1 ksi compression on the outside
surface. At the middle of the shell wall, the axial stress is equal to the far-field axial
stress.

Contour plots of the von Mises stress distribution are shown in Figures 68 and 69. The
distributions obtained for the baseline model and the refined model are essentially the
same from an overall sense as shown in Figure 68 and in a local sense as shown in Figure
69 for a cutting plane at the top of the fillet weld. The peak value of the von Mises stress
obtained from the baseline model is 14.6 ksi, while that for the refined model is 15.5 ksi —
within ~6%.

Based on these results, even though the baseline model was not capable of performing
these last few studies, the results are consistent and correlated with those obtained using
the refined model. Hence, the previously presented results with the baseline model can
be considered accurate.

Shell-to-gusset weld assessment

All of the analysis models considered so far in the present report model the shell-to-
gusset and flange-to-gusset welds as continuous “full-surface” welds. While these welds
may be external fillet welds on the structure, the models used in the present report do not
explicitly represent these welds as external fillet welds. The only explicitly represented
fillet weld is the shell-to-flange weld. A limited assessment of the shell-to-gusset weld
modeling is presented in this section.

In the present report, the weld modeling approach is defined using four terms:
continuous or stitched and full-surface or edge-only. “Full-surface” weld modeling
implies that nodes on the surface of one part have coincident nodes on the opposite
surface of the adjacent part. These coincident nodes are tied together and displacement
compatibility over these surfaces is enforced. Alternatively, “edge-only” weld modeling
implies that only nodes on the bounding surface of the gusset are tied to nodes on the
shell; i.e., displacement compatibility is enforced only on the edges of the gusset.
“Continuous” implies that the weld modeling approach is imposed along the entire
intersection of the two parts, while “stitched” implies an alternating weld/free pattern
along the entire intersection. The “continuous” and “stitched” weld patterns are
illustrated in Figure 61.

For this assessment, the stress analyses were performed using the refined model of the
two-segment 10°-wedge case under a 2,240 lb/in. axial running load. In all cases, the
flange-to-gusset weld was modeled as a continuous, full-surface weld. As a reference
state, the axial stress distribution for the continuous full-surface weld is shown in Figure
70. The distribution on the left-hand side uses a contour range of zero to 40 ksi, while the
distribution shown on the right-hand side uses a narrower contour range of zero to 16 ksi.
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For the reference state, the peak stress value of 16.5 ksi occurred on the gusset in the
mouse hole close to the flange-to-gusset intersection and away from the shell-to-gusset
weld.

A comparison of the full-surface and edge-only continuous weld modeling assumptions is
shown in Figure 71 using the axial stress distributions with the previous narrow contour
range. The full-surface region is the area enclosed by the red box on the left side of
Figure 71, and the edge-only region is indicated by the red lines on the right side of
Figure 71. The axial stress distributions are nearly the same for the full-surface and edge-
only continuous weld modeling assumptions.

A comparison of the full-surface and edge-only stitched weld modeling assumptions is
shown in Figure 72 using the axial stress distributions with the previous narrow contour
range. The full-surface regions are the three areas enclosed by the red boxes on the left
side of Figure 72, and the edge-only regions are indicated by the three pairs of red lines
on the right side of Figure 72. The axial stress distributions for the full-surface and edge-
only stitched weld modeling assumptions are nearly the same. In addition, the overall
distributions shown in Figures 71 and 72 are nearly the same indicating that these shell-
to-gusset modeling assumptions do not significantly affect the structural response for this
loading.

These results indicate that the present approach to modeling the shell-to-gusset weld
appears to be insensitive to whether the weld is continuous or stitched and to whether the
weld model is a full-surface or edge-only weld model. Again, in these analyses, the
gusset welds are only simulated through constraints rather than through explicit modeling
of the fillet weld (as was done for the shell-to-flange fillet weld). The stitched edge-only
weld modeling assumptions did result in a somewhat different local stress distribution on
the gusset; however, the peak axial stress remained in the 16 ksi range for all cases
considered. Inclusion of the gusset fillet welds into the finite element model is not
expected to affect these results for the present CIFS assessment.

Fracture mechanics analysis

Fracture mechanics analysis aims to calculate either stress-intensity factors or strain-
energy release rates for a crack in a structure. In the present analysis, the fracture
mechanics parameters are calculated using the virtual crack closure technique (or VCCT)
[18-25]. Application of VCCT to obtain a through-the-thickness stress intensity factor
distribution required mesh refinement in the vicinity of the inserted crack of length 2a.

Using the two-segment 10°-wedge model, the mesh was refined, as described previously,
and a through-the-thickness crack was inserted into the finite element model as indicated
in Figure 73. This inserted crack essentially involves coincident nodes on either side of
the crack face up to the crack tip. The inserted crack is located at the top of the fillet
weld in the shell wall and centered in the circumferential direction. In the refined model,
the local element edge length along the crack in the circumferential direction is 0.05
inches, and the element edge length in the shell thickness direction is 0.0625 inches.
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Local modeling on the crack plane is shown in Figure 74 when the cracked solid is
modeled with 8-node hexahedral (brick) elements. The crack front is represented by
rectilinear segments (i-1, i) and (i, i+1). The nodes on the crack front are i-1, i, and i+1.
The elements ahead of the crack front and above the crack plane are / and /+1. The
elements behind the crack front are J and J+1 above the crack plane and K and K+1
below the crack plane. For clarity, the brick elements are not shown in the figure, but
rather the element labels point to the corresponding face on the crack plane. As the strain
energy release rates G can vary along the crack front, the G values need to be computed
at each of the crack front nodes i-1, i, and i+1. Historically, the first attempts of the
VCCT scheme evaluated the G values as:

B Zl.ij,k + Zl._lij_Lk_1

14a
/ AL (14a)
XAu., + X, Au,
G” _ i j.k 2A21 j-Lk-1 (14b)
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G”] _ J.k 1 J-Lk-1 (140)
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where A4 is an area associated with element 7, and Aw; = w; — wy, etc. The forces Z';,
X', and Y'; are the nodal forces at node i evaluated using the elements / and J alone.

These G values are attributed at the location of the crack front midway between nodes i-1
and i [19].

Raju et al. [20, 21] suggested evaluating the strain energy release rates at the nodes using
the nodal forces at the crack front nodes and the relative displacements at the appropriate
nodes behind the crack front as:

G ZAW,; (152)
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where Z;, X;, and Y; are nodal forces evaluated using the elements 7, /+1, J, and J+1. The
relative displacements (by component) at the nodes behind the crack front are computed,
for example, as Aw; ;= w; — wy. The A4, is the area attributed to node 7 and is the shaded
area in Figure 74. This area can be computed easily as:
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where b; and by are the width of elements /7 and /+1, respectively, as shown in Figure 74.
For the nodes at the ends of the crack front, A4, = (b1/2)-Aa and A4y = (by/2)-Aa, where
by and by are the widths of the first and the last elements on the crack front. This process
is repeated at each of the nodes on the crack front to obtain the strain energy release rate
distribution along the crack front.

The total strain energy release rate G can be evaluated using:
GT: GI + GH + GH]. (17)

The stress intensity factors K for each fracture mode can be obtained from the individual
strain energy release rates using:

K, =+JG,E' (18a)
Ky =[G E’ (18b)

Ky=.—7— (18¢)

where E’ = E when plane stress assumptions are used, and £/ = E/(1-v®) when plane
strain assumptions are used [22-24].

The variation of the strain energy release rates through the shell thickness is shown in
Figure 75 for an axial running load of 2,240 Ib/in. Based on the finite element results, the
strain energy release rate for each fracture mode was calculated using Eq. 15 as a
function of position through the shell thickness. For this axial running load case, the
dominate fracture mode is the crack opening mode known as Mode I. The sum of the
Mode IT and Mode III strain energy release rates (Gy+Gyy) is often referred to as the
shearing strain energy release rate. For this application, this sum represents less than 5%
of the Mode I strain energy release rate Gi.

A close-up view of a slice through the refined finite element model near the crack tip is
shown in Figure 76 with exaggerated displacements. The flange separation (or gap
opening) is clearly evident in this figure as well as the crack opening. The structural
response for tensile axial loading results in local bending near the flanges, which in turn
results in a greater crack opening on the inside shell surface than on the outside surface.

To verify these calculations, another finite element model was created with local mesh
modifications as indicated in Figure 77. Here, the local element edge length in the crack
plane was increased to 0.0833 inches from 0.05 inches. The stress analysis and VCCT
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computations were repeated and gave essentially the same distribution of the Mode I
strain energy release rate as the refined model, as shown in Figure 78.

In the present analysis, plane stress assumptions and an elastic modulus of 30 Msi were
used. The variation of the VCCT-predicted Mode I stress intensity factor K; through the
shell thickness is shown in Figure 79 for a axial running load of 2,240 Ib/in. This factor
was calculated using the Mode I strain energy release rate G; computed from the finite
element results and Eq. 18a. The value of the Mode I stress intensity factor K, at the

crack tip on the inside shell surface (back face) was about 10 ksi-Vin., which decreased in
almost a linear fashion to zero on the outside shell surface (front face).

For the fatigue crack growth analyses, stress results are needed for the maximum tensile
running axial design load of 1,600 Ib/in. The peak stress values for the uncracked body
were obtained from the two-segment 10°-wedge refined finite element model and
tabulated in Table 3.  Values are reported at three locations as indicated in Figure 80:
on the element outer face (peak value); at the element centroid (center of the element),
and at the element integration points (just inside the element face). The element
integration point stress values are considered to be the more accurate and therefore
incorporated in the fatigue crack growth analyses.

In addition, the fracture mechanics analysis using VCCT was repeated for the design load
case. For the design load case and using the refined finite element model, the value of
the VCCT-predicted Mode I stress intensity factor at the crack tip on the inside (bolt side)
surface was 6.8 ksi-Vin.

Remote compressive loading

Both tensile and compressive load cases were analyzed to provide stress data for the
fatigue crack growth analyses. The through-the-thickness axial stress distribution for the
tension case decreases from the peak tensile value of 12.48 ksi to essentially zero on the
outside surface. The through-the-thickness axial stress distribution for the compression
case decreases from the peak compressive value given of -5.22 ksi to approximately -3.30
ksi on the outside surface. For the tension case, bending occurs due to the eccentricity of
the load path in the joint. For the compression case, bearing occurs due to closing of the
joint by the external loading even more than by the bolt preload.

Flange surface mismatch assessment

The manufacturing and assembly of large diameter shells and annular ring segments are
difficult tasks in terms of maintaining stringent assembly tolerances on flatness,
perpendicularity, and parallelism on the mating surfaces. The influence of flange surface
mismatch due to local initial geometric surface imperfections along the flange mating
surface on the peak tensile axial stress at the top of the fillet weld was assessed for the
bolt preload step of the structural analysis from a stress free state — residual stresses from
the welding process are not included.
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A segment mating test was performed by stacking Pathfinder 1 (PF1) shell segment onto
Pathfinder 2 (PF2) shell segment as indicated in Figure 81."° Gap measurements taken
on the front (i.e., outside diameter or OD) and back (i.e., inside diameter or ID) sides of
the mating surfaces during a mating test of one flange surface of Pathfinder 1 (PF1) shell
with a flange surface of Pathfinder 2 (PF2) shell are indicated in Figure 82." These
measurements were recorded midway between gussets (i.e., every 10°), and it was
reported that no gaps occurred at the gusset locations. Shimming was proposed as a way
to mitigate the magnitude of the gaps measured on the outside diameter and the inside
diameter. The installation procedure [26] of the shims (both mechanical and liquid) and
its verification are still under development (see Figure 83 for an overview of the
shimming procedure). Mechanical shims of varying sizes would be used with liquid
shimming material applied to even out the flange surface; however, shim sizes in 10-mil
increments are expected to be used in combination with a liquid shimming process.
Assuming that the free-state gaps are shimmed, then the remaining gaps around the
circumference of the USS segment would be less than 10 mils as indicated in Figure 84.
The distribution of these values appears to be somewhat random and not readily
characterized.

Limited surface mismatch studies have been performed by the Project (see Ref. 28).
Additional surface mismatch studies described in this report were performed using the
refined model from the fracture mechanics analyses shown in Figure 63. The modeling
procedure was to extract the nodes on the mating surface of the flange on the upper tuna-
can segment and to perturb their longitudinal location from the original plane defining a
perfect mating surface. Once perturbed, the finite element model was reflected thereby
generating a mirror image of the surface mismatch on the opposite flange. When
interelement penetration of a perturbed node location was detected, the node location was
changed to be exactly on the mating surface (i.e., no mismatch or gap at that node).

The flange surface mismatch was defined using parametric representations in the radial
and circumferential directions as given by:

A=Ar,0)= f(r)gd)=0 (19)

using the symbols and nomenclature defined on Figures 85 and 86. The size of the gap at
a node on the flange outer surface is required to be greater than or equal to zero. When
the functional form returns a negative value it is assigned a value of zero, thereby
avoiding issues of interelement penetration.

Five radial functions listed in Table 4 and four circumferential functions listed in Table 5
were constructed and provide a capability to generate twenty different flange surface
mismatch distributions. Two distributions are illustrated in Figure 87 where blue
represents zero gap and red represents peak gaps. Of the twenty possible functions, only

"3 In preparation for the fabrication of USS segments, two shells were fabricated to demonstrate the process
and to evaluate manufacturing procedures. These shell structures were designated Pathfinder 1 and
Pathfinder 2 shells.
'* The gap data were provided by Paul Trimarchi, NASA Glenn. Also refer to Ref. 27.
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the nine different flange surface mismatch distributions shown in Figure 88 were
analyzed. These flange surface mismatch distributions are formed by combining the
radial and circumferential functions as indicated by Eq. 19 and are divided into three
groups: axisymmetric; periodic with edge gaps; and periodic with no edge gaps. The
axisymmetric distributions (see Figure 88a) exhibit the same mismatch distribution for
every circumferential location (i.e., A =A(r) = f(r)>0). The periodic distributions
with edge gaps (see Figure 88b) exhibit flange surface mismatch between the gussets and
no gap near the gusset. These distributions are generated using the n=-1 circumferential
function. The periodic distributions with no edge gaps (see Figure 88c) exhibit peak gaps
along the front face and zero gaps along the symmetry planes of the finite element model.
These distributions are generated using the linear radial function and the »>0
circumferential functions.

Each of these nine flange surface mismatch distributions and the original perfect flange
case were analyzed using a bolt preload force only to determine the influence of these
assembly mismatches on the local axial stress at the top of the fillet weld. These so-
called “fit-up stresses” contribute to the CIFS analyses. These fit-up stresses have been
estimated to be approximately 15% of the parent material yield stress (approximately 6
ksi for the data used in this report). Results are shown in Figure 89-91 for the three types
of distributions. The free-state flange surface mismatch distributions with 10-mil peak
gaps are shown in Figures 89a, 90a, and 91a for a stress-free state. The gap distributions
after a bolt preload of 36,500 1b are shown in Figure 89b, 90b, and 91b with the
maximum axial tensile stress at the top of the fillet weld noted below each distribution.
Maximum axial tensile stress values are reported in Table 6 for these nine mismatch
cases and the perfect case. The axial stress values reported are element face values.

First, the influence of the axisymmetric mismatch distributions (n=0 cases) as shown in
Figure 89 is discussed. The bolt preload force is 36,500 1b, and the peak gaps are 10
mils. As a basis for comparison, the perfect case (no gapping, perfect mating of the
flange surfaces) results in only a 2.2 ksi maximum axial tensile stress at the top of the
fillet weld as indicated on the far left of the figure. Next, a linear distribution with no
gaps along the back face and peak gaps along the front face was analyzed. This
distribution represents a tilting of the flange outer surface, and the bolt preload gradually
closes the gap without significantly increasing the axial stress level. The third case
(cosine, n=0) exhibits peak gaps at both the back and front faces (including under the
gusset) and near zero gaps along the bolt circle. Because of the absence of gaps along the
bolt circle, the bolt preload does not increase the axial stress level and is not able to
eliminate the free-state gaps. The fourth case (sine, n=0) shown on the far right of Figure
89 exhibits a uniform “bubble” gap that is not easily detected, since the gaps along the
front and back faces are zero. This bubble also extends underneath the gusset. Because
of the bearing surfaces along the front and back face edges, imposing the bolt preload
force causes local bending near the fillet weld and significantly increases the axial stress
level to 19.0 ksi — nearly an order of magnitude larger than the perfect case.

Second, the influence of the periodic mismatch distributions with edge gaps (n=-1 cases)
as shown in Figure 90 is discussed. The bolt preload force is 36,500 Ib, and the peak
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gaps are 10 mils. In the four distributions analyzed, there is no mismatch near the gusset
(£1° on either side of the center of the gusset). The two cases on the left side of Figure
90 exhibit linear radial distributions: one with zero gaps on the back face and the other
with one half of the peak gap on the back face. Both cases behave in a similar manner
with front face gaps remaining after applying the bolt preload and high values for the
maximum axial tensile stress at the top of the fillet weld (18.6 ksi and 21.6 ksi). The
third case has a peak gap at the front face on the symmetry boundary and half the peak
gap on the back face. However, near the bolt circle, the flange mismatch is nearly zero.
Again, because of minimal gapping along the bolt circle, the bolt preload neither
increases the axial stress level significantly (6.0 ksi) nor eliminates the free-state gaps.
The fourth case has a series of interior “bubble” mismatches between the gussets and zero
gaps along the front and back faces. The axial stress level is only marginally increased
(7.7 ksi) compared to the perfect case.

Third, the influence of the periodic mismatch distributions with no edge gaps (n>0 cases)
as shown in Figure 91 is discussed. The bolt preload force is 36,500 Ib, and the peak
gaps are 10 mils. Both cases assume a linear radial mismatch distribution with zero gaps
along the symmetry edges of the analysis model. The first case, left side of Figure 91, is
a sinusoidal circumferential distribution (n=1) with the peak gaps occurring underneath
the gusset. Here, the bolt preload force was able to close most of the free-state gapping;
however, the maximum axial tensile stress was significantly increased (19.9 ksi). The
second case, right side of Figure 91, is a sinusoidal circumferential distribution (n=3)
with two peak gaps occurring between gussets and no gaps near the gusset. Local
bending of the flange-to-skin interface increased the maximum axial stress level to 30.7
ksi without eliminating the initial free-state gaps.

Of the nine distributions analyzed, four mismatch distributions significantly increase the
maximum axial tensile stress at the top of the fillet weld. These findings are summarized
in Figure 92. The sine, n=0 case is axisymmetric with the peak gaps occurring near the
bolt circle including under the gussets but with no gaps on either the front face (segment
OD) or the back face (segment ID). The linear, n=1 case is a periodic with no edge gaps
but peak gaps occurring directly under the gussets. Limited measurement data has
indicated that gaps on the front and back faces are not present, hence this case is deemed
not realistic. The linear, n=3 case is also periodic with no edge gaps and also no gaps
under the gusset. This distribution exhibits two peak gap regions between each gusset
pair. The linear, n=-1 case is periodic with edge gaps and no gaps under the gusset. This
distribution has one peak gap region between each gusset pair. While not shown
explicitly, it was noted that the location of the maximum axial tensile stress at the top of
the fillet weld tended to correspond to the location of the peak gaps in the free-state
mismatch distribution. This observation is substantiated later.

Three factors influence the structural response: mismatch distribution, peak gap
amplitude and bolt preload force magnitude. The results just described indicate that the
flange surface mismatch distribution pattern can have a significant effect. Some
distributions have only a minor effect, while others, such as the four indicated in Figure
92, can have a significant effect on the local maximum axial stress at the top of the fillet
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weld. The size of the peak gap and the magnitude of the bolt preload force are examined
next using the four cases identified in Figure 92. First, the size of the peak gap was
reduced from 10 mils to 5 mils while maintaining the bolt preload force at 36,500 1b. The
free-state gap distribution is shown in Figure 93a, the results for the 10-mil peak gap are
shown in Figure 93b, and the results for the 5-mil peak gap are shown in Figure 93c. For
the 5-mil cases, nearly all the free-state gapping is eliminated and the maximum axial
tensile stress levels are reduced by approximately 25% compared to the 10-mil case.

Next, the effect of bolt preload force is analyzed using three values of the preload force:
34,000 Ib; 36,500 1b (baseline value); and 44,100 1b. Results shown in Figure 94 for the
mismatch distribution defined as the linear, n=-1 case indicate only a marginal influence
on the maximum axial tensile stress level for one of the worst case mismatch
distributions. For a 30% increase in bolt preload force, the maximum axial tensile stress
at the top of the fillet weld increased by approximately 5%.

These results are summarized in Figures 95 and 96 in terms of the maximum axial tensile
stress at the top of the fillet weld and the maximum front face (outer diameter or OD) gap
after applying the bolt preload force of 36,500 Ib. The sensitivity of the structural
response to different mismatch distributions is clearly evident in these axial stress
distributions. Reducing the initial peak gap magnitudes does reduce the maximum axial
tensile stress values but not significantly.

Finally, the overall axial stress distributions shown in Figures 97 and 98 using a fixed
range for the contour intervals were examined for the case of perfect flanges and three
mismatch cases (Sine, n=0; Linear, n=3, and Linear, n=-1; see Figure 92). In Figure 97,
the axial stress distributions shown are due to the application of the 36,500-1b bolt
preload force only. The stress distribution for the perfect case is shown in Figure 97a
with a maximum axial tensile stress of 2.2 ksi at the top of the fillet weld near the gusset.
The stress distribution for the axisymmetric mismatch distribution with only an interior
gap (sine, n=0 case) is shown in Figure 97b with a maximum axial tensile stress of 19.0
ksi at the top of the fillet weld near the gusset mouse hole. The stress distribution for a
periodic mismatch distribution with no edge gaps is shown in Figure 97¢ with a
maximum axial tensile stress of 30.7 ksi at the top of the fillet weld opposite the second
bolt hole — essentially at the same circumferential position as the free-state peak gap on
the front face. The stress distribution for a periodic mismatch distribution with edge gaps
is shown in Figure 97d with a maximum axial tensile stress of 21.6 ksi at the top of the
fillet weld at the symmetry plane — again, essentially at the same circumferential position
as the free-state peak gap.

The overall axial stress distributions shown in Figures 98 correspond to the stress state
after applying the 36,500-1b bolt preload force, a compressive axial running load of 660
Ib/in. simulating the deadweight of ten USS tuna cans, and followed by applying the
maximum axial tensile running load of 1,600 Ib/in. from the ascent conditions. The stress
distribution for the perfect case is shown in Figure 98a with a maximum axial tensile
stress of 12.5 ksi at the top of the fillet weld near the gusset. This peak value is used in
the CIFS analysis for the response to the mechanical loads. The stress distribution for the
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axisymmetric mismatch distribution with only an interior gap (sine, n=0 case) is shown
in Figure 98b with a maximum axial tensile stress of 29.0 ksi at the top of the fillet weld
near the gusset mouse hole. The stress distribution for a periodic mismatch distribution
with no edge gaps is shown in Figure 98¢ with a maximum axial tensile stress of 28.1 ksi.
The stress distribution for a periodic mismatch distribution with edge gaps is shown in
Figure 98d with a maximum axial tensile stress of 22.3 ksi. This peak value is used in the
CIFS analysis as the peak value of the fit-up stress. These results indicate that the
maximum axial tensile stress at the top of the fillet weld and its circumferential location
are dependent on the flange surface mismatch more than the applied external axial
loading. In addition, the axial stress distribution after applying the maximum axial
tensile flight running load has a higher magnitude and is more widespread for the
axisymmetric distribution with an interior gap (sine, n=0 case) than the other cases
analyzed.

Several implications of the flange surface mismatch assessment reported here can be
noted. First, the top of the fillet weld in the flange-to-skin weld is a critical region for the
CIFS analyses. Second, mismatch distributions with substantial bearing contact tend to
cause only a mild increase of the local axial tensile stress. Third, reducing the peak gaps
also reduces the maximum axial tensile stress. Fourth, the axial tensile stress was nearly
insensitive to changes in bolt preload force. Fifth, the circumferential location of the
maximum axial tensile stress tends to correspond to the circumferential location of the
free-state peak gaps on the front face. Fit-up stresses, which develop due to bolting of
non-planar flange mating surfaces, near the fillet weld are sensitive to the initial flange
gapping distribution and magnitudes.

Concluding Remarks

The present report describes the structural analyses performed supporting the NESC
critical initial flaw size assessment of the Ares [-X USS common tuna-can segments.
These structural analyses included a preliminary assessment of the buckling margins of
the US1 segment to dead-weight loading and to in-plane shear (torsional) flight loads.
The buckling computations were performed using the STAGS finite element code. In
both loading cases, the US1 segment had high margins against buckling.

Structural analyses of the single-bolt joint configuration were performed to define the
modeling and analysis requirements and to calibrate the analysis models against test data.
These analyses were elasto-plastic, large-deformation nonlinear finite element analyses
with contact performed using the ABAQUS/Standard finite element code. Different
parametric studies were performed, and by far, the most significant parameter affecting
the single-bolt joint response was the washer-bearing-surface size. Excellent test-
analysis correlation (within 5%) was obtained for displacements, gap opening, and
surface strains.

For the purpose of the analysis, a repeating unit of a 10°-wedge from two adjacent tuna-
can segments was identified. The models included five bolt holes, effect of bolt preload,
and washer-bearing-surface effects, and each tuna-can segment had a gusset. Different
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parametric studies were performed using the 10°-wedge models, and by far, the most
significant influence on the axial tensile stress at the top of the fillet weld was the flange
surface mismatch. Elasto-plastic, large-deformation, contact simulations were conducted
using the ABAQUS/Standard finite element code.

From the analysis, the following findings were obtained that contribute to the present
CIFS assessment:

1. The single-bolt joint response emulates the two-segment response when the
gussets are not present.

2. The gussets tend to increase the local stress level near the top of the fillet weld
between the gusset and the adjacent bolt hole.

3. Clocking of the gussets during assembly causes only a minor change in the local
stress state, and hence, clocking is not an issue.

4. Initial yielding occurs at 2.6 times the design axial running load of 1,600 1b/in.
and is confined to the region near the bolt holes.

5. Modeling of the shell-to-gusset weld appears to be insensitive to whether a full-
surface or edge-only weld is simulated. A stitched weld causes a local
redistribution of stress compared to the continuous weld; however, minimal
changes were noted for the overall two-segment response.

6. Maximum axial stress values at the design load were obtained and are used as
input for the fatigue crack growth assessment.

7. Flange surface mismatch can have a significant effect on the maximum axial
tensile stress at the top of the fillet weld for the CIFS analyses.

8. Reducing the peak gap does reduce the maximum axial stress but does not
eliminate it.

9. The bolt preload force does not appear to have any significant effect on the
maximum axial stress for the mismatch case considered.

10. Because of the apparent random nature evident in the limited measured gap data
and the observation that the maximum axial tensile stress tends to occur near the
circumferential locations with peak free-state gaps on the front face, continuous
inspection of the mating surfaces and flange-to-flange weld is needed.
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Table 1. Finite element mesh convergence study for buckling under axial compression.

FE mesh* | Number of Number of Lowest
axial circumferential | eigenvalue
half waves full waves A

10x40 6 9 63.775
20x60 9 0 65.998
40x90 9 0 64.855
60x120 9 0 64.736
80x180 9 0 64.700
120x240 4 13 64.106
160x360 5 12 63.949

*FE mesh defined by the number of elements along the shell length by the number of elements around the
shell circumference.

Table 2. Finite element mesh convergence study for buckling under in-plane shear.

FE mesh* | Number of Number of Lowest
axial circumferential | eigenvalue
half waves full waves M

10x40 1 12 44.783
20x60 1 12 38.526
40x90 1 12 36.097
60x120 1 12 35.333
80x180 1 12 34.837
120x240 1 12 34.671
160x360 1 12 34.562

*FE mesh defined by the number of elements along the shell length by the number of elements around the
shell circumference.
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Table 3. Peak stress values for input to the fatigue life predictions assuming no flange
surface mismatch (perfect mating).

Peak stress values from refined model with 1,600 lb/in. tension

Top of fillet weld, inside surface, between gusset and first bolt hole

Element No. Location Axial Stress, von Mises Max. Principal
(see Figure 80) ksi Stress, ksi Stress, ksi
8713 Integration Point 12.48 11.17 13.01
8713 Centroid 10.36 8.92 10.92
8713 Element Face 13.88 11.90 14.36

Peak stress values from refined model with 1,600 1b/in. compression

Top of fillet weld, inside surface, under mouse hole

Element No. Location Axial von Mises Min. Principal
Stress, ksi Stress, ksi Stress, ksi
8537 Integration Point -5.22 4.75 -5.29
8537 Centroid -4.56 4.03 -4.65
8537 Element Face -5.69 4.98 -5.76

Note: the values on the element face are on the inside surface, the integration point values are slightly

inside the surface, and the centroid values are at the element centroid (see Figure 80).
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Table 6. Axial stress values on the front (OD side) and back (ID side) faces for a peak
gap value of 10 mils and after applying a 36,500-1b bolt preload force from a stress-free

state.

Description of Mismatch
Distribution

Maximum axial tensile
stress at top of fillet weld
on back face (on segment

Axial stress on the front
face (on segment OD)
opposite peak tensile stress

ID), ksi 3) at top of ﬁlllc{e;i\gld location,

Perfect case +2.2 -0.5
Axisymmetric distributions (n=0 cases)
Linear, n=0 " +3.5 -0.4
Cosine, n=0 " +2.4 +0.7
Sine, n=0 " +19.0 -11.6
Periodic distributions with edge gaps (n=-1 cases)
Linear, n=-1 (zero at ID) +18.6 +2.9
Linear, n=-1 (nonzero at ID) +21.6 +2.7
Piecewise, n=-1 +6.0 +1.4
Sine, n=-1 +7.7 -1.4
Periodic distributions with no edge gaps (7>0 cases)
Linear, n=1 ) +19.9 -0.9
Linear, n=3 * +30.7 -0.9
(1) Peak gaps occur under gussets.
(2) Pair of peak gaps between gussets.
(3) Stress values are element face values.
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Figure 1. Schematic of the Ares I-X System.
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Figure 2. Schematic of the Ares I-X Upper Stage Simulator.
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Common USS
tuna can segment
216" diameter; 115" length
¥2"-thick
Shell

10°-wedge model

Gusset
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Bolt holes
(2° spacing)
1.5” Mouse

hole

Gussets
(10° spacing)

Figure 3. Representative tuna-can segment from the upper stage simulator.
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Figure 4. Representative joint and bolt dimensions — all dimensions are inches; not drawn
to scale.
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Figure 5. Room-temperature stress-strain curve for A516 Grade 70 steel.
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Figure 7. 10°-wedge repeating unit of a common USS segment.
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Figure 8. Effect of bolt preload torque and nut factor on bolt preload force.
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Figure 9. Effect of mesh refinement on buckling mode shape for axial compression
loading.
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Figure 10. Effect of mesh refinement on buckling mode shape for in-plane shear loading.
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p=1/8” | u

p=1/4" 5

[=3/8" = Fele

to each node within a uniform radial distance  from edge of {]

Displacement constraints that extend from center of bolt hole : -

hole outward on exposed surfaces of both flanges e =

Figure 11. Washer-bearing-surface modeling assumptions: =0 corresponds to the edge
of the bolt hole and =3/8” corresponds to the edge washer.

Figure 12. Illustration of regions within the analysis models potentially having different
material properties assigned (gray, dark green, and tan regions are parent material;
magenta and light green regions are heat-affected zones; yellow region is the weld).
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Figure 13. Single-bolt joint test dimensions and nomenclature.
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Figure 14. Coarse (less refined) finite element model for the single-bolt joint test to
identify modeling requirements for the USS tuna-can segment analyses — 286 nodes and
240 4-node shell elements in the shell portion of the model and 9,292 nodes and 7,040 8-

node solid elements in the three-dimensional portion of the model.

Figure 15. Refined finite element model for the single-bolt joint test— 650 nodes and 576
4-node shell elements in the shell portion of the model and 100,088 nodes and 90,176 8-
node solid elements in the three-dimensional portion of the model.
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Figure 16. Single segment 10°-wedge finite element model.
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Figure 17. Close-up view of shell-flange weld region in the finite element model.
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N, Two tuna-can segments

Symmetry 10°-wedge
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Figure 18. Two-segment 10°-wedge finite element model.
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Figure 19. Three-dimensional local finite element modeling.
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bolted
““-hl

Front

Fixed end

Figure 20. Analysis model and boundary conditions for the single-bolt joint
configuration.

Figure 21. Photograph of the single-bolt joint test setup where DIC area is the Digital
Image Correlation area and LVDT is a Linear Variable Differential Transducer (from
NASA Glenn).
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(a) Test 1 near peak load.

BT AT

(b) Test 2 near failure load.
Figure 22. Photographs of the joint opening under applied axial load (from NASA
Glenn).
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Figure 23. Effect of mesh refinement on single-bolt joint structural response.
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Figure 24. Bolt load as a function of applied end displacement for the baseline analysis
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Figure 25. Reaction load as a function of applied end displacement for the baseline
analysis case.
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Figure 26. Reaction force as a function of gap opening (or flange gap) for the baseline
analysis case.
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Figure 27. Reaction force as a function of surface strains for the baseline analysis case.
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Figure 28. Reaction force as a function of front face lateral displacement for the baseline
analysis case.
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Figure 29. Axial strain and von Mises stress distributions for different load levels for the
baseline analysis case (deformations scaled by 10).
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Figure 33. Effect of washer-bearing-surface size on reaction load as a function of end
displacement.
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Figure 34. Effect of edge boundary conditions on bolt load as a function of end
displacement (solid lines with symbols denote free long edges; dashed lines with symbols
denote symmetry conditions on long edges).
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Figure 35. Effect of edge boundary conditions on reaction load as a function of end
displacement (solid lines with symbols denote free long edges; dashed lines with symbols
denote symmetry conditions on long edges).
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Figure 38. Reaction force as a function of end displacement test-analysis correlation for
the single-bolt joint tests (test data from NASA Glenn).
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Figure 39. Reaction force as a function of flange separation (gap opening) test-analysis
correlation for the single-bolt joint tests (test data from NASA Glenn).
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Figure 40. Surface strain test-analysis correlation for single-bolt joint Test 1 (test data

from NASA Glenn).
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Figure 41. Surface strain test-analysis correlation for single-bolt joint Test 2 (test data

from NASA Glenn).
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Figure 42. Effects of geometric and material nonlinearities on the structural response of
the two-segment 10°-wedge model — results essentially indistinguishable.
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ovm=12 Kksi [-
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Figure 43. Distribution of the von Mises stress for 2,240 1b/in. axial running load.

von Mises
Stress

I o

14.6 ksi max.
at top of fillet weld

Figure 44. Distribution of the von Mises stress across the top of the fillet weld for 2,240
Ib/in. axial running load (c,s=40.76 ksi).
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(a) Plane through center of first hole (6=2°).

(b) Plane through center of second hole (6=4°).

(c) Plane through center of gusset (6=5°).
Figure 45. Distribution of the von Mises stress on various vertical cuts through the
analysis model for 2,240 Ib/in. axial running load (cys=40.76 ksi).
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1.4 N 20N

Figure 46. Effect of load level on the von Mises stress distribution (cys=40.76 ksi).
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Does the single-bolt case
reflect the shell response?
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Figure 47. Relationship between the single-bolt model and the 10°-wedge models.
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at top of fillet weld
~5 Kksi
At 2,370 Ib/in. in skin

At 2,240 Ib/in.

Figure 48. Comparison of von Mises stress distributions for the single-bolt case and the
two-segment case without gussets (6y,=40.76 ksi).
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2 o
1 \\/3 I/ZGVS
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of fillet weld above fillet weld

Figure 49. Comparison of the von Mises stress distributions for the two-segment models
with and without gussets (c,s=40.76 ksi).
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Figure 50. Comparison of the von Mises stress distributions for the two-segment models
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Figure 51. Axial stress at the top of the fillet weld as a function of circumferential

position for a axial running load of 2,240 Ib/in.
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Figure 52. Distribution of the axial stress for a axial running load of 2,240 1b/in.
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Figure 53. Distribution of the axial strain for a axial running load of 2,240 Ib/in.
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Figure 54. Distribution of the radial stress for a axial running load of 2,240 Ib/in.
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Figure 55. Distribution of the radial strain for a axial running load of 2,240 Ib/in.
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Figure 56. Distribution of the hoop stress for a axial running load of 2,240 Ib/in.
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Figure 57. Distribution of the hoop strain for a axial running load of 2,240 Ib/in.
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Figure 58. Loading-unloading sequence for residual plastic strain assessment.
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Figure 59. Effect of loading, unloading, and reloading on the structural response.
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Figure 60. Equivalent plastic strain distributions for selected load levels.
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Figure 61. Mesh modifications to accommodate the stitched weld pattern.
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Uniform mesh
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Figure 62. Mesh modifications to the butt weld region to accommodate the fracture
mechanics analysis.

Baseline Model Refined Model

Intended
Through-thickness
Crack Location

Figure 63. Circumferential mesh refinement in the vicinity of the gusset mouse hole to
accommodate the fracture mechanics analysis.
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Figure 64. Axial stress distribution as a function of circumferential location on the inside
surface at the top of the fillet weld for a 2,240 Ib/in. axial running load.
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Figure 65. Comparison of the axial stress distributions for the baseline and refined
models using a 2,240 Ib/in. axial running load.

80 January 23, 2008



18

16

12

10

Axial stress, ksi

Taop of Mouse Hole
Top of Gusset

Baseline
Mode

— A
1]
=h
3
(1]
o

L\-___-_-_--_-_ -

i Far-field axial stress=4.48 ksi |

2 4 6 8 10 12

14

16

18

Axial distance above flange, inches

20 22 24

Figure 66. Axial stress distribution along the shell axis on the shell inside surface near the
gusset for a 2,240 1b/in. axial running load.
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Figure 67. Axial stress distribution through the shell wall thickness at the top of the fillet
weld near the gusset for a 2,240 1b/in. axial running load.
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Figure 68. Comparison of the von Mises stress distributions for the baseline and refined
models using a 2,240 Ib/in. axial running load.
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Figure 69. Comparison of the von Mises stress distributions across the top of the fillet
weld for the baseline and refined models using a 2,240 Ib/in. axial running load.
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Figure 70. Axial stress distributions on the gusset for the continuous “full-surface” shell-

to-gusset weld assumption.
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Figure 71. Comparison of the axial stress distributions for the continuous “full-surface”
and “edge-only” shell-to-gusset weld assumption.
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Figure 72. Comparison of the axial stress distributions for the stitched “full-surface” and
“edge-only” shell-to-gusset weld assumption.
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Figure 73. Location of the inserted through-the-thickness crack of length 2a along the
top of the fillet weld centered about the gusset for the refined model.
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Figure 74. VCCT computational scheme for three-dimensional 8-node brick elements.
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Figure 75. Strain energy release rates through the shell thickness for an applied axial
running load of 2,240 Ib/in. and an initial through crack of length 2a equal to 1 inch.
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Figure 76. Close-up view of crack opening from the refined model simulation with
displacements scaled by 150.
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Figure 77. Local finite element mesh modification to verify VCCT prediction.
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Figure 78. Variation of the Mode I strain energy release rate through the shell thickness

using two different element edge lengths for an applied axial running load of 2,240 Ib/in.
and an initial through crack of length 2a equal to 1 inch.
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Figure 79. Variation of the Mode I stress intensity factor through the shell thickness for
an applied axial running load of 2,240 Ib/in. and an initial through crack of length 2a

equal to 1 inch.
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Figure 80. Sketch showing locations within an element of the stress recovery locations
reported in Table 3.
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o

Figure 81. Segment mating test using pathfinder USS shell segments (NASA Glenn
photo).
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Figure 95. Maximum axial tensile stress at the top of the fillet weld after 36,500-1b bolt
preload force for different mismatch patterns and magnitudes.
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Figure 96. Maximum OD gap after 36,500-1b bolt preload force for different mismatch
patterns and magnitudes.
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Axial stress, ksi

>22

0 (b) Sine, n=0 distribution
with peak gap of 10 mils.

(a) Perfect case.

(¢) Linear, n=3 distribution

. . (d) Linear, n=-1 distribution with
with peak gap of 10 mils.

peak gap of 10 mils.

Figure 97. Axial stress distributions after application of bolt preload force of 36,500 Ib.
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Axial stress, ksi

>27

(b) Sine, n=0 distribution

(a) Perfect case. X )
with peak gap of 10 mils.

(c) Linear, n=3 distribution (d) Linear, n=-1 distribution with
with peak gap of 10 mils. peak gap of 10 mils.

Figure 98. Axial stress distributions after application of both bolt preload force
0f 36,500 Ib and design axial running load of 1,600 1b/in.
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